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Abstract. The authors have evolved an empirical method for characterizing resistance to ductile fracture using two parameters 0f and ηf that can be determined
from tensile test data of smooth cylindrical specimens. This method stipulates that
the post-necking regime during tensile deformation is dominated by microvoid
growth and coalescence processes, and therefore the energy absorbed in this regime
can be used to estimate the resistance of the necked region to ductile fracture. The
test procedure employed is simple and does not require gauge-length extensometry, a distinct advantage at non-ambient temperatures. The tests are carried out in
a screw-driven machine at a constant crosshead speed, with online computerized
acquisition of load–time data; it is also necessary to have a prior precise calibration
for the (nonlinear) elastic deformation of the load train. The method of computing
0f and ηf , from tensile data is described, and its engineering application demonstrated by characterizing the effect of ageing of two dissimilar metal welds, namely
Alloy 800/2·25Cr–1Mo steel and Alloy 800/9Cr–1Mo steel. From these results, it
has been established that this procedure of estimating the ductile fracture toughness from tensile tests can be used as a simple, practical method for optimisation
of post-weld heat treatment of weld joints.
Keywords. Ductile fracture; tensile tests; dissimilar metal weldments; postweld heat treatment; Cr–Mo steels.
1. Introduction
Dissimilar metal weld (DMW) joints between austenitic stainless steels (SS) and chromium–
molybdenum (Cr–Mo) steels are used in tubing and piping in steam generators (SGs) of
almost all fossil-fuel fired power plants, and gas-cooled and liquid metal-cooled fast breeder
nuclear reactors. While a 2·25Cr–1Mo steel may be used in the lower temperature SG modules (e.g. evaporators), 9Cr–1Mo steel is used in the higher temperature SG modules (e.g.
super-heaters and re-heaters) because it combines high strength at high temperature (comparable with austenitic SS) with low thermal expansion and high thermal conductivity typical
of Cr–Mo steels. It has been recognised that these austenitic SS/ ferritic steel DMWs pose a
potential problem owing to premature failure in service (Bhaduri et al 1994b). To circumvent
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this problem, a trimetallic joint with an intermediate piece of Alloy 800 between the austenitic
SS and the Cr–Mo steel has been developed (Bhaduri et al 1988; Bhaduri 1990). From the
point of view of the potential of this trimetallic configuration for performance in service, the
Alloy 800/Cr–Mo steel DMW joint, more specifically the weld/ferritic steel interface, constitutes the critical part (Bhaduri et al 1989, 1994b; Bhaduri 1990). Post-weld heat treatment
(PWHT) of the Alloy 800/Cr–Mo steel DMW joint is essential to temper the hard microstructure of the as-welded ferritic steel heat-affected zone (HAZ); also, subsequent thermal ageing
of the joint during elevated temperature service is inevitable. It is therefore essential to ensure
adequate mechanical properties, particularly toughness, taking into account the combined
effects of PWHT and in-service ageing.
It was possible to determine, albeit with some degree of subjectivity, the optimum PWHT
temperature for the Alloy 800/2·25Cr–1Mo steel DMW joint by simultaneously considering
the microstructure, hardness profiles and tensile properties determined on transverse-weld
specimens (Bhaduri 1990; Bhaduri et al 1991, 1994b). On the other hand, the above conventional structure–property correlation procedure was unable to discern a unique optimum
PWHT temperature for the Alloy 800/9Cr–1Mo steel DMW joint (Bhaduri et al 1995). However, the two empirical ductile fracture toughness parameters from tensile tests of smooth
cylindrical specimens, proposed by Ray et al (1993a) (hereinafter referred to as the RBR
method), were able to unambiguously identify the optimum PWHT temperature for both
these DMW joints (Bhaduri et al 1993b, 1997). The RBR method was therefore identified as
a simple practical method for optimisation of PWHT, especially for DMW joints. It is to be
emphasised that the RBR method developed is essentially empirical and meant for engineering applications. The intuitive basis for and implementation of this method are discussed in
the following sections.

2. Micromechanism of ductile fracture – Toughness parameters from tension test
Closely linked to the studies on the micromechanics of ductile fracture (Rodriguez 1993) is
the philosophy of the damage mechanics approach (Bluhm & Morrisy 1965; Tvergaard &
Needleman 1984; Kachanov 1990; Lemaitre & Chaboche 1990; Thomason 1990; Zhang &
Zheng 1991; Zheng et al 1992). In the fracture mechanics approach, structural integrity of a
component is considered to be limited by one or more dominant cracks, real or postulated.
In contrast, in damage mechanics, attention is paid to the deterioration in the integrity due
to evolution of damage (i.e., micro-voids for ductile fracture) in the applied stress/strain
field, with or without such dominant cracks. The most well-known application of the damage
mechanics approach is in creep life prediction. However, in recent times, particularly for
tough structural Alloys that are being pressed into service, increasing attention is being paid
to the “local” damage mechanics approach because: (i) the minimum thickness for obtaining
valid elastic–plastic fracture toughness JI c is typically larger than the thickness of the actual
component; (ii) the minimum crack depth ratio for obtaining valid JI c is likely to be much
larger than those to be ever met with or allowed for during plant operation. Both these
considerations mean that for such applications, the fracture mechanics approach would be
unduly over-conservative with resultant economic penalty, and more realistic assessment
should be attempted. Damage mechanics methods can encompass a wide spectrum – from
fully empirical (cf. approach of Kachanov (1990) to creep life prediction) to more rigorous
ones. As a background to the RBR method, we first examine the micromechanism of ductile
fracture in a qualitative manner.
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2.1 Micromechanics of ductile fracture
Extensive experimental and numerical investigations have been carried out on the micro-void
nucleation, growth and coalescence processes that lead to ductile fracture, see for example,
Tvergaard (1990) for a review. In precipitate-free “clean” materials, voids nucleate by slipband interaction. In structural Alloys containing precipitates and/or inclusions, voids nucleate
mainly at second phase particles, either by decohesion of the particle–matrix interface or
by particle fracture. For example, in axisymmetric notched specimens of A508 (C–Mn–Ni–
Mo) steel containing MnS inclusions, in the longitudinal direction void nucleation has been
observed to occur by the fracture of MnS particles, while in the transverse direction it occurs
by the decohesion of the particle–matrix interface (Lautridou & Pineau 1981). In general, void
nucleation can be considered to be statistical in nature, and is controlled either by plastic strain
or by the maximum stress normal to the particle–matrix interface (Gurson 1977a; Needleman
& Rice 1978; Tvergaard 1990). Nucleation of voids causes a redistribution of stresses, and
additional straining of the surrounding matrix (Hutchinson & Tvergaard 1987); thus, extra
work is done by the remote stresses in nucleating the voids. Subsequent to nucleation, the
voids grow by plastic deformation of the surrounding matrix: cavities elongate along the major
tensile axis and two neighbouring cavities coalesce when their length has grown to the order of
their spacing (Brown & Embury 1973). Studies by Koplik & Needleman (1987) for growth of
voids under fixed ratios of remote radial to axial macroscopic true stresses show that initially,
the rate of growth of void volume fraction and rate of macroscopic radial straining are rather
constants as function of macroscopic effective strain, but gradually the former increases while
the latter decreases until radial straining stops. Subsequently, deformation takes place in a
uniaxial straining mode, where all deformation is localised between radially adjacent voids.
This final stage of localised flow is characterised by rapid increase in the void volume fraction
and decrease in the apparent true stress level.
Localised fracture between two adjacent voids occurs by the development of slip planes
between the cavities, or simply by the necking of the ligament. Voids can also link up by
localised bands of smaller voids between large voids; this “void-sheet” formation process may
become important close to fracture. Both experimental and theoretical studies (Cox & Low
1974; Van Stone & Psioda 1975; Tvergaard 1987) on structural Alloys, which contain precipitates/inclusions of two or more size-scales, show that voids first nucleate at the large particles,
and during their subsequent growth, a second population of small voids starts to nucleate and
grow primarily in the regions of stress and strain concentrations between the large voids. The
latter mechanism leads to final separation by void sheet formation between two larger voids.
Both theoretical studies (McClintock 1968; Rice & Tracey 1969) and experimental studies
(Hancock & Mackenzie 1976; Hancock & Brown 1983) have established that void growth
rate is strongly dependent upon the triaxiality, i.e., the ratio of mean stress σm to von Mises’
equivalent stress σeq . The most well-known model for the macroscopic response of an isotropic
body containing randomly distributed voids of simple geometry (e.g. spherical or cylindrical)
in a rigid-plastic rate-independent matrix is that due to Gurson (1977b). Depending upon the
shape of particles from which the voids nucleate, this model has been found to give reasonable
approximation in many cases, except close to the final failure because of void linking by
localised bands of small voids. The yield condition due to Gurson (1977b), as modified by
Tvergaard & Needleman (1984), can be expressed as the yield function given by
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with f ∗ a function of the current void volume fraction f :
f ∗ (f ) = f,

 


f − fC 
1
·

,
 − fC 
= fC + 
q1
fF − fC

forf ≤ fC ,
forf < fC .

Here σf is the equivalent tensile flow stress representing the actual microscopic stress state in
the matrix material, fF is the void volume at fracture that has been experimentally determined
to be typically between 0·13 and 0·15 (Cialone & Asaro 1981; Moussy 1985; Koplik &
Needleman 1987; Sun et al 1991), q1 and q2 are constants, and fC the void volume fraction at
which void coalescence starts affecting the yield condition. The void-free material behaviour
is reclaimed by setting f ∗ (f ) = f = 0. It has been found that the constants q1 and q2 can
be taken to be 1·25 and 1 respectively, though q1 should be increased for decreased strain
hardening (Tvergaard & Needleman 1984; Koplik & Needleman 1987; Tvergaard 1990). The
value of fC varies nearly linearly with initial void volume fraction f0 (Becker et al 1987;
Koplik & Needleman 1987; Tvergaard 1990), with fC = 0·033 at f0 ≈ 0·0013 to fC = 0·055
at f0 = 0·104; fC has also been found to vary weakly with stress triaxiality and matrix strain
hardening (Koplik & Needleman 1987). For structural Alloys deriving strength from a very
small volume fraction of precipitates, typically fC = 0·03 has been used (Sun et al 1991).
Several authors have used computer modelling to simulate the deformation and ductile
fracture behaviour of smooth and notched round bar tension specimens and compact-tension
(CT) fracture tests specimens (Tvergaard & Needleman 1984; Zhang & Zheng 1991; Sun
et al 1991). For smooth bars tested in tension, initially the bar has uniform thickness with no
porosity; with increasing deformation, incipient neck forms (identifiable as the deviation from
homogeneous deformation behaviour), the neck continues to develop and σm continues to
increase at the minimum section. For strain-controlled void nucleation, microvoids nucleate at
the nucleation strain εN ; Tvergaard & Needleman (1984) as well as Sun et al (1991) used εN =
0·3 (with standard deviation 0·1) for their theoretical modelling. In copper, gross microvoid
nucleation (as determined using an ultrasonic technique) is reported to occur beyond the
incipient necking point (Bluhm & Morrisy, 1965). The microvoids grow at the centre of the
neck at accelerating rate due to rapidly increasing triaxiality first to f = fC and then to the
formation of a penny-shaped crack (at f = fF ); finally, zigzag growth of the crack due to
strain localisation leads to conical void-sheet fracture known as the cup and cone fracture.
The accumulation of damage in the form of microvoid growth and coalescence results in load
at equivalent average axial strain being smaller than that computed for a necked specimen
without voids, see figrue 1 (Tvergaard & Needleman 1984).
2.2 Toughness parameters from tensile tests: The RBR method
Clearly, for engineering applications, it is impracticable to attempt such detailed simulations
for every set of test data to extract meaningful parameters that characterise the ductile fracture toughness. Nevertheless, these studies form the intuitive basis of an empirical method of
estimating ductile fracture toughness from smooth round specimen tensile test data that has
been evolved in our laboratory for engineering applications. The method and the computational procedure for the RBR method have been described by Ray et al (1993a). The efficacy
of the RBR method for a typical engineering problem, viz. optimising the PWHT for DMW
joints, has also been demonstrated (Bhaduri et al 1993, 1994a, 1997).
The RBR method has been evolved using two materials, namely a nuclear grade austenitic
316 stainless steel (SS) with low inclusion contents in solution-annealed (SA) condition, and

Simple method for optimisation of PWHT

413

Figure 1. Effect of the model for void nucleation, growth and coalescence in axisymmetric tension.
Necking refers to Bridgeman’s solution for stress distribution in a neck. (a) True macroscopic stress
scaled by yield stress vs. true strain, and (b) void volume fraction vs. true strain (Tvergaard & Needleman
1984).

a 9Cr–1Mo ferritic steel in normalised and tempered (N–T) condition. It should be recognized
that the 316 SS chosen represents a “clean” material with voids nucleating at slip-band
intersections, while in 9Cr–1Mo steel voids nucleate at carbide particles. These two materials
thus represent the range of void-nucleation behaviour expected to be met in practice.
The RBR method essentially depends on tensile tests carried out to fracture or to various
points beyond the necking point followed by unloading. For all tests, specimens with gauge
diameter 4 mm and gauge length 26·3 mm are used and were carried out at room temperature
(300 K) at a constant crosshead speed of 0·5 mm.min−1 . High resolution (≈ 10−5 ) load (P )
data are recorded on a personal computer at sufficiently small intervals of time t (typically
0·1 s) using a high resolution DVM and an IEEE-488 interface. For this geometry and type
of loading, provided we ensure that crosshead displacement xt = 0 at the start of the test
(P = t = 0), then at any time t, the total crosshead displacement xt = t ẋt = xsp + xm , where
ẋt is the cross head speed, xsp the deformation of the specimen parallel length, and xm the
elastic deformation of the “machine”, i.e., segments of load train between the two crossheads
excluding the specimen parallel length. Therefore, if xm vs. P relation is available (from
independent calibration tests), then P vs. t data can be used to determine the xsp values, and
gauge length extensometry actually becomes redundant. A method of determining xm vs. P
calibration relation at sufficiently high accuracy without using gauge length extensometry is
described by Ray et al (1993b). Thus (i) experimental facilities required for calibration and
toughness tests are identical, and (ii) gauge length extensometry is not required, considerably
simplifying the test requirements. The P vs. t test data from the toughness tests are processed
to compute the relevant parameters utilizing the basic formulation developed by Ray et al
(1993c) for analysing uniaxial tensile deformation data from tests without using gauge length
extensometry. The computation method ensures that xt = 0 at t = P = 0, identifies the
necking point as the point where the true stress computed assuming homogeneous deformation
is maximum (i.e. the first point of deviation from homogeneous deformation behaviour, cf.
Tvergaard & Needleman 1984), and also enables theoretically computing the elastic unloading
line from any point of deformation up to necking.
So much for the highlights of the experimental and computational details. Consider now
some experimental results. Figures 2a and b respectively, show the results for 316 SS and
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(a)

(b)

Figure 2. ln W vs. ln(ln(A0 /A))
plots for (a) 316 SS and (b) 9Cr–1Mo
steel at 300 K.

9Cr–1Mo steel in the form of ln W vs. ln(ln(A0 /A)) plots. Here W is the total energy absorbed
by the specimen during deformation that reduces the minimum cross sectional area of the
specimen from A0 to A. Note that for deformation up to necking, ln(A0 /A) equals the true
longitudinal plastic strain; beyond necking, it measures the average longitudinal plastic strain
across the plane of minimum cross section (the neck plane), ignoring any strain intensification
due to necking. The smooth lines in these diagrams correspond to the energy absorbed by the
specimen in the homogeneous deformation regime. The peak load and the necking points are
indicated by the ’+’ and ’∗’ signs respectively, on the lines for homogeneous deformation. The
(near-) linear plots for the homogeneous deformation regimes in figures 2a and b indicate that
the materials follow the power-hardening law. In both these figures, the post-necking data are
seen to be apparently linearly related, and the best-fit line through these points intersects the
lines for the homogeneous deformation between the corresponding ultimate tensile strength
(UTS) and necking points.
These results (see also figure 1) suggest that microvoid growth and coalescence processes
become important only in the post-necking regime. The transition from plastic flow to fracturedominated processes can be taken to occur between the UTS and necking points though the
actual transition seems material-dependent, being closer to the necking point for the “clean”
316 SS (SA condition). Therefore, it is reasonable to consider that the energy absorbed in
the specimen from necking to fracture reflects ductile fracture toughness. This is formalized
in the following manner. Figure 3 shows the P vs. xt plot for a specimen tested to fracture;
beyond the “fracture” load Pf , load drops to zero within the data logging interval. In this
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Figure 3. A typical P vs. xt plot for 316 SS
at 300 K.

diagram, the necking point (at load Pn ), the specimen cross section at this point An and the
elastic unloading line for the entire load train (the dashed line in figure 3) are theoretically
computed from the test data. The energy absorbed by the specimen in the post-necking regime
Wpn is calculated as the area under the P vs. xt plot to the right of the unloading line; note
that this procedure is valid both for specimens unloaded prior to fracture (when the reversible
elastic deformation of load train ensures that there is no net energy contribution from the load
train to the specimen) and for specimens tested to fracture (because, as Pf  0, the elastic
energy stored in the load train at this point is spent on the specimen).
Now we define a parameter 0 ≡ Wpn /An . Clearly, 0f , the value of 0 at fracture, can be
used as a toughness parameter, much the same way that Charpy V energy in ductile fracture
(i.e., for materials undergoing ductile to brittle transition, the upper shelf Charpy V energy)
for a fixed specimen geometry is used as a toughness parameter. Consider, however, the
variation of 0 with ln(An /A), i.e., with true longitudinal plastic strain at the minimum neck
section measured from the necking point (figure 4a). Physically, the slope of 0 vs. ln(An /A)
plot represents the incremental work density needed to continue the necking process. Now, as
the neck develops and triaxiality increases, for a given increment in ln(An /A), (i) increasing
share of the corresponding incremental energy absorbed by the specimen is spent closer
to the minimum cross section of the specimen, and (ii) an increasing share of this energy
is spent in the fracture process (i.e. microvoid growth and coalescence processes) while a
decreasing share of this energy is spent for “pure” plastic deformation. Therefore, the value
of the slope d0/d ln(An /A) at fracture is a better ductile fracture toughness parameter than
0f . Moreover, identifying 0f with toughness implies that negligible energy is consumed in
microvoid nucleation and growth processes prior to necking; this assumption may, however,
be violated in particle hardened materials where conditions for void nucleation may obtain
even prior to necking. Even in these situations, the slope of the 0 vs. ln(An /A) plot should
be less affected across the necking event. Figures 4a and b show respectively the variation of
0 and the parameter η ≡ 0/ ln(An /A) with ln(An /A) for the two test materials. Compared
to figures 2a and b, the systematic variation of 0 with neck deformation is more clearly
discernible in figure 4a. Apparently 0 varies linearly with ln(An /A) for both these materials
as shown in figure 4a. Note that as 0 has been defined to be zero at A = An , obviously
these linear relations do not hold close to the necking point; for our purpose, however, this is
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Figure 4. Variation of (a) 0 and (b) η with
ln(An /A) at 300 K for 316 SS and 9Cr–1Mo
steel.

unimportant as our interest lies in reasonably accurate representation of the 0 vs. ln(An /A)
relation close to fracture. As expected from the linear relations, the parameter η tends to
saturate to a constant value ηf ≡ 0f / ln(An /Af ), where Af is the minimum cross-sectional
area at fracture, see figure 4b. From the previous discussion, ηf is expected to be a better
indicator of ductile fracture toughness than 0f . It is interesting to note that while 0f values are
found to be similar for 316 SS and 9Cr–1Mo steel, the expected higher toughness for 316 SS
is reflected in the higher value for the slope; the ratio of slopes of 1·95 for these two materials
can be compared with the expected ratio of JI c of about 1·5 (cf. Ray & Packiaraj 1992).
Figure 4a defines the multiple specimen version of the RBR method; this may not be
attractive for rapid estimation of toughness or when there is a paucity of specimens, e.g., for
inhomogeneous materials like weld joints, or for characterising neutron-irradiated specimens.
Figure 4b suggests a single specimen method, with ηf being used to estimate the slope of
the 0 vs. ln(An /A) plot close to fracture. The single specimen method is less rigorous, but
is expected to be reasonably successful when (i) the variation of 0 with ln(An /A) can be
described by a linear relation as in figure 4a, and (ii) An /Af is large and/or the 0 calculated
by extrapolating the linear relation to A = An is small.
Though devised intuitively and empirically, the RBR method belongs to the damage
mechanics approach, and can be modelled from first principles. In developing a model (a la
Kachanov 1990), it is possible to suitably define macroscopic damage, the intersection points
between the lines of homogeneous deformation and post-necking deformation in figures 2a
and b being the natural choice as points where macroscopic “damage” is zero. A completely
self-contained and self-consistent model can be built upon such an edifice. It is nevertheless interesting to compare the RBR method with the fracture mechanics based methods of
toughness determination using notched/cracked specimens. In Charpy V-notch (CVN) speci-
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men testing or conventional fracture mechanics tests, a notch or a crack introduces triaxiality,
thereby reducing plastic deformation and promoting fracture. In the RBR method on the other
hand, the regime manifestly associated with plastic deformation is discounted (the energy
absorbed by the specimen in this regime is usually a large fraction of the total energy consumed). Again, unlike in fracture mechanics tests with cracked specimens, the RBR method
yields estimates for toughness for (i) the material in a highly work hardened condition rather
than at small plastic strains, and (ii) in a stress field that is the sum of a uniaxial tension plus
a hydrostatic tension rather than triaxial. The values of CV at room temperature (averaged
per unit ligament area) reported for a non-nuclear grade 316 SS with composition similar to
the 316 SS used in the RBR study is 2·25 J.mm−2 for half-thickness standard specimens, and
for the present 9Cr–1Mo steel is 3·13 J.mm−2 for standard specimens (Packiaraj 1992). Now,
in Charpy tests with ductile materials, considerable energy is spent in plastic deformation.
Hence, it is not surprising that the above values are much larger than the 0f values of about
1·5 J.mm−2 determined for both 316 SS and 9Cr–1Mo: 0f should reflect ductile fracture
energy more accurately than (upper-shelf) CV .
In fracture mechanics tests, the ductile fracture toughness determined is actually related to
the incremental energy necessary to initiate or sustain crack growth (by the damage processes
occurring at the crack tip). In the RBR method, the parameter akin to this is the slope of the 0
vs. ln(An /A) plot close to fracture. Detailed modelling is however necessary for estimating
e.g., JI c by the RBR approach. We may note here that the problem of predicting JI c by
micromechanical modelling of ductile fracture is yet to be fully solved, though the results so far
have been encouraging. The ductile fracture processes at the crack tip differs significantly in
detail from that in more homogeneously strained materials e.g., plane-strain or axisymmetric
tensile test specimens (Rice 1976). The large gradients in stress and strain fields near the
crack tip typically result in critical conditions for failure being reached in part of the near-tip
material; here a characteristic length scale of the material (e.g., the particle spacing) plays a
role. Several computational studies have been carried out on the interaction of the stress field
at a crack tip with neighbouring voids (Rice & Johnson 1970; McMeeking 1977; Aoki et al
1984; Aravas & McMeeking 1985; Needleman & Tvergaard 1987). During crack-tip blunting,
self-similar stress and strain fields sweep over the near-tip material (McMeeking 1977) so
that an inclusion at distance R from crack tip is reached by the stress peak at J /σy R ≡ 0·5,
while the strains are very small. Thus, large voids close to the crack tip nucleate rather early
(when the stress peak sweeps by), whereas small voids nucleate much later in the material
close to the blunting tip, when large strains develop. Crack growth occurs by the localised
shearing between the existing crack tip and nearby growing large void, leading to void-sheet
fracture. Subsequently the new crack tip interacts with the next larger void, and the crack
keeps growing. Comprehensive modelling by Needleman & Tvergaard (1987) has yielded
computed δI /D vs. D/2r0 values agreeing with the general trend for experimental results
(McMeeking 1977); here D is the particle spacing and 2r0 is the particle size.
It is interesting to note that apart from the toughness parameters discussed above, the RBR
approach makes it possible to determine strength and ductility parameters in addition to the
conventional parameters viz., yield strength (YS), UTS, uniform and total elongations (UE
and TE respectively), and the reduction in area RA ≡ (A0 −Af )/A0 . The RBR approach gives
additional strength and ductility parameters as the points of necking and fracture are accurately
identified on the P vs. xt plot. These include the true necking stress σn ≡ Pn /An , reduction
in area from necking point RAn ≡ (An − Af )/An and the inhomogeneous component of
the true plastic strain at the neck εih ≡ ln(An /Af ), and the nominal and true “fracture”
stresses Sf ≡ Pf /A0 and σf ≡ Pf /Af respectively. If, in addition, the shadowgraph of
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Figure 5. Schematic diagram of neck profile illustrating the method of determining
the neck length.

the neck is available, it is possible to define (Ray et al 1994) the strain gradient in the neck
in terms of the strain localisation parameter ψ ≡ ih /x, where x is half the neck length.
Referring to the schematic diagram in figure 5, x is the average of the measurements x1 , x2 , x3
and x4 , where x1 etc. are determined by drawing tangents to the inflections points on the
neck flank, as illustrated in figure 5. Clearly, short of reporting the entire neck profile, these
ductility parameters extract the most significant features of the neck, and are physically more
meaningful than the information contained by the set of uniform and total elongations and
reduction in area.
It will be clear from the discussions above that the RBR method is simple to implement,
and well-suited for rapidly estimating ductile fracture toughness from the most widely used
tensile test at only marginally increased cost. The RBR method is particularly attractive in
determining the minimum toughness in a weld joint. In such materials with microstructural
and compositional inhomogeneity of the weld metal and the HAZ, the neck formation and
subsequent failure occurs in the section least resistant to necking, i.e., microvoid nucleation
growth and coalescence processes. In other words, in such inhomogeneous specimens, RBR
method automatically determines the toughness of the weakest section. (We may note parenthetically that here too the parameter ηf is a better measure of toughness than 0f , because the
former effectively samples a smaller gradient in microstructure.) On the other hand, testing
the toughness of such materials using the conventional methods requiring a notch or a crack in
such materials is problematical, because: (i) the location of the weakest section is not known
a priori; and (ii) accurately locating the notch/crack in the desired location is difficult as
weld fusion lines are seldom vertical. While one can simulate the HAZ microstructures using
weld thermal simulators, determining the minimum toughness in principle requires several
simulated-microstructure specimens, each for a different HAZ location. In DMW joints, these
problems are accentuated as changes in composition can occur due to elemental diffusion
across the weld interface during PWHT and/or subsequent ageing in service. The efficacy of
the RBR method for such engineering applications in general, and for optimisation of PWHT
of two DMW joints in particular, are summarised in the next section.
3. Engineering applications of the RBR method – optimisation of PWHT
3.1 Optimisation of PWHT of an Alloy 800/2·25Cr–1Mo steel DMW joint
In an earlier investigation (Bhaduri et al 1991), the PWHT for the Alloy 800/2·25Cr–1Mo
steel DMW joint was optimised by studying the response to ageing at 873 K up to 5000 h.
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Single V-groove butt joints were prepared between 12 mm thick plates of Alloy 800 in SA
condition and 2·25Cr–1Mo steel in N–T condition, and welded using Inconel 182 electrodes.
The details of the chemical compositions, weld joint design, the welding conditions used,
and the non-destructive tests carried out have been reported elsewhere (Bhaduri et al 1988;
Bhaduri 1990). These weld joints were first subjected to 1 h PWHTs at one of the following
temperatures: 948, 973, 998 or 1023 K, and then the as-welded and each of the PWHT joints
were aged at 873 K for 0 (unaged), 100, 500, 1000 or 5000 h. The objective was to optimise
the PWHT taking into account the degradation of properties during service by a judicious
combination of YS, UTS and TE at 773 K was sought. However, it became also necessary to
consider the microstructure of the ferritic steel HAZ adjacent to the weld interface, and the
microhardness profile across this HAZ and weld interface. Obviously, for such weld joints
for structural applications, an optimisation based solely on a toughness criterion, specifically
the toughness of the weakest section of the joint, should be more direct, and also expected
to minimize the subjective elements in such an optimisation. The problem was therefore reexamined using the RBR method, i.e., determining the 0f and ηf parameters, as well as the
various strength and ductility parameters indicated above, employing tensile tests at 300 K.
The variations in the strength (UTS, σn , Sf and σf ) and ductility (%RA and %RAn ) parameters at 300 K with duration of ageing at 873 K for the joints in the different PWHT conditions
are shown in figures 6 to 8. The trend in the variations for the strength parameters UTS, σn

Figure 6. Effect of ageing time at
873 K on (a) UTS, (b) σn and (c) Sf
evaluated at 300 K in transverse-weld
specimens of Alloy 800/2·25Cr–
1Mo steel joints given different
PWHTs.
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Figure 7. Effect of ageing time at
873 K on σf evaluated at 300 K in
transverse-weld specimens of Alloy
800/2·25Cr–1Mo steel joints given
different PWHTs.

Figure 8. Variation in (a) %RA and
(b) %RAn at 300 K with ageing time
at 873 K in Alloy 800/2·25Cr–1Mo
steel joints given different PWHTs.
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and Sf with ageing duration are almost similar for any given PWHT condition, though the
maxima/minima occur after different ageing durations for the different PWHTs. The σf values (figure 7) are substantially higher than the corresponding values of the other strength
parameters in figure 6, and show significant variations with ageing duration for all the PWHT
conditions. The values of %RAn (figure 8b) are lower than those for %RA (figure 8a). The
trend in the variations in these ductility parameters with ageing duration is broadly opposite
to the corresponding variations in the strength parameters UTS, σn and Sf (figure 6) i.e. a
decrease in ductility is generally associated with an increase in strength. However, for any
PWHT condition, the minima in the strength parameters in figures 6a–c do not coincide with
the maxima in the ductility parameters in figures 8a–b. Considering both the magnitude and
the variation with duration of ageing, the optimum PWHT temperature should be: (i) between
948 and 998 K if the strength parameters UTS, σn and Sf are considered; or (ii) 998 K if σf
is considered; or (iii) any of the chosen temperatures except 973 K if high %RA or %RAn is
desired. Hence, for more objective optimisation, additional inputs, e.g. microstructural and
microhardness profile information, become essential (see also Bhaduri et al 1991). Metallographic examination of the weld/ferritic steel interface shows that interfacial precipitation
increases with increase in PWHT temperature and/or ageing duration, and that PWHT at 948
and 973 K results in a reduction in the extent of precipitation at this interface, see figure 9.

a

b

c

d

e

Figure 9. Optical micrographs of Inconel 182 weld/2·25Cr–1Mo steel interface after 873 K/5000 h ageing.
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Figure 10. Microhardness profiles
across Inconel 182 weld/2·25Cr–
1Mo steel interface of different
PWHT joints after 873 K/5000
ageing.

Further, it is seen that PWHT at 973 and 998 K results in only a shallow hardness trough
in the ferritic steel HAZ adjacent to the weld interface, and in only marginal changes in the
hardness distribution across the weld/ferritic steel interface after ageing at 873 K up to 5000 h,
figure 10. Considering all these aspects covering both microstructure and conventional tensile
properties, the optimum PWHT temperature for this DMW joint is identified as 973 K.
Figures 11a and b show the effect of duration of ageing (at 873 K) on 0f and ηf , respectively,
for different PWHT joints. As tensile fracture in transverse-weld specimens of this DMW
joint occurs in the 2·25Cr–1Mo steel HAZ, the 0f and ηf evaluated correspond to those for

Figure 11. Variation in (a) 0f and
(b) ηf at 300 K with ageing time
at 873 K for Alloy 800/2·25Cr–1Mo
steel joints given different PWHTs.
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Figure 12. Comparison of the sensitivity of 0f and ηf with those of
conventional tensile property parameters (UTS and %RA) at 300 K for
Alloy 800/2·25Cr–1Mo steel joints:
(a) % change in property for 973 K
PWHT joints with duration of ageing
at 873 K; (b) % change in property for
873 K/5000 h aged joints with PWHT
temperature.

the weakest region in this HAZ. For joints subjected to PWHT at 948 or 973 K, the 0f values
show maxima at 500 h of ageing. Although for the remaining joints 0f remains unchanged
beyond 1000 h of ageing, ageing up to 1000 h tends to decrease 0f with increasing ageing
duration. It is clear from figure 11a that, among all the PWHT joints, the highest 0f values
are generally obtained in aged joints that had been subjected to PWHT at 973 K. Indeed,
considering the 0f value after ageing for 5000 h, the as-welded joint seems to be the most
appropriate one, closely followed by the 973 K PWHT joint. Figure 11b, on the other hand,
unambiguously shows that, among all the joints (including the as-welded one), the joint
subjected to PWHT at 973 K exhibits least variation in ηf beyond 100 h of ageing, and has the
highest stable ηf values up to 5000 h. Thus, considering 0f and ηf alone, the optimum PWHT
temperature for this Alloy 800/2·25Cr–1Mo steel DMW joint can be unequivocally identified
as 973 K.
Figure 12a shows the percent changes in 0f , ηf , UTS and %RA with ageing duration visà-vis the unaged condition for joints subjected to 973 K PWHT. The range of variations in the
UTS and %RA are within ±2–3%, the typical scatter band for these parameters. On the other
hand, the parameters 0f and ηf show variations of +6 to +18% on ageing, indicating that
ageing duration causes perceptible changes in the toughness of 2·25Cr–1Mo steel HAZ. Also,
figure 12b clearly shows that the maximum favourable change in 0f and ηf with PWHT visà-vis the as-welded condition is obtained after PWHT at 973 K. To confirm the 973 K point
in figure 12b, a duplicate test was carried out for this condition and excellent reproducibility
was achieved as given below.
Sample no. 1:

0f = 1·0827 J.mm−2 ;

ηf = 0·7674 J.mm−2 .

Sample no. 2:

0f = 1·0866 J.mm−2 ;

ηf = 0·7492 J.mm−2 .

It may be noted that the variation in 0f and ηf with PWHT is in the range −3 to −11%,
whereas PWHT causes a variation between −4 and +2% in the value of %RA, and between
−2 and −6% (excluding −17% for 1023 K PWHT) in the value of UTS. These clearly
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demonstrate the higher sensitivity to the effects of both ageing and PWHT of the 0f and ηf
parameters than the conventional tensile properties.
3.2 Optimisation of PWHT of an Alloy 800/9Cr–1Mo steel DMW joint
However, the PWHT for the Alloy 800/9Cr–1Mo steel DMW joint could not be optimised
by studying the response to ageing at 848 K up to 5000 h. Single V-groove butt joints were
prepared between 12 mm thick plates of Alloy 800 in SA condition and 9Cr–1Mo steel in N–T
condition, and welded using Inconel 182 electrodes. The details of the chemical compositions,
weld joint design, the welding conditions used, and the non-destructive tests carried out have
been reported elsewhere (Bhaduri et al 1995). These weld joints were first subjected to 1 h
PWHTs at one of the following temperatures: 973, 998 or 1023 K, and then the as-welded and
each of the PWHT joints were aged at 848 K for 0 (unaged), 100, 500, 1000 or 5000 h. The
objective was to optimise the PWHT taking into account the degradation of properties during
service by a judicious combination ofYS, UTS and TE at 773 K was sought. However, even on
considering the microstructure of the ferritic steel HAZ adjacent to the weld interface, and the
microhardness profile across this HAZ and weld interface, the optimum PWHT temperature
of this joint could not be discerned with any certainty. Obviously, for such weld joints for
structural applications, an optimisation based solely on a toughness criterion, specifically the
toughness of the weakest section of the joint, should be more direct, and also expected to
minimize the uncertainty in such an optimisation. The problem was therefore re-examined
using the RBR method, i.e., determining the 0f and ηf parameters, as well as the various
strength and ductility parameters indicated above, employing tensile tests at 300 K.
From the microhardness profiles across the 9Cr–1Mo steel/weld interface of as-welded
and PWHT joints in the unaged and 5000 h aged conditions (figures 13a and b) it is clear
that, although PWHT is essential to reduce the extent and magnitude of hardness variation
across the HAZ, PWHT temperature and/or prolonged ageing even up to 5000 h (at 848 K)
has practically no effect on the hardness distribution across the HAZ. This confirms that, in

Figure 13. Microhardness profiles across
the Inconel 182 weld/9Cr–1Mo steel interface of as-welded and PWHT joints in
(a) unaged, (b) 848 K/5000 h aged conditions.
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Figure 14. Effect of ageing duration at
848 K on (a)YS, (b) UTS and (c) %RA evaluated at 300 K in transverse-weld specimens
ofAlloy 800/9Cr–1Mo steel joints given different PWHTs.

marked contrast to the DMWs with 2·25Cr–1Mo steel (Bhaduri et al 1991), the 9Cr–1Mo steel
HAZ after PWHT at 973–1023 K has a stable microstructure even after prolonged exposure at
elevated temperatures due to the poor tempering response of the 9Cr–1Mo material. Similarly,
the conventional tensile properties (YS, UTS and %RA) of this joint in the as-welded and
PWHT conditions (figure 14) show that ageing for 5000 h results in only a slight increase in the
YS and a marginal decrease in the UTS, while the %RA values remain practically unchanged.
Further, although all the failures during tensile tests occur in the HAZ of the 9Cr–1Mo steel,
there is no change in the failure location with change in PWHT temperature and/or duration
of ageing. Therefore, the conventional structure–property approach is unable to discern with
certainty any unique optimum PWHT temperature, principally owing to the poor sensitivity
of the conventional parameters like YS, UTS and %RA.
As tensile fracture in transverse-weld specimens of this joint occurs in the 9Cr–1Mo steel
HAZ, the 0f and ηf evaluated correspond to those for the weakest section in this HAZ.
Figure 15a shows that for the 1023 K PWHT joint, 0f shows first an increase up to 500 h
of ageing, followed by a decrease over the next 500 h of ageing, beyond which it remains
practically unchanged up to 5000 h of ageing. For all ageing durations, the as-welded and
the 973 K and 998 K PWHT joints show similar variations in 0f , with the highest 0f in the
aged conditions being obtained for the 1023 K PWHT joint (figure 15a). In contrast, with
increasing ageing duration up to 5000 h, ηf increases continuously – rapidly at first (up to
about 1000 h of ageing) and then showing a tendency for saturation (figure 15b). However, for
a given ageing duration, the range of ηf values for all the joints is about 10%. Nevertheless,
it is observed from figure 15b that the 1023 K PWHT joint exhibits the highest ηf values for
all ageing duration up to 5000 h. Thus, from the parameters 0f and ηf alone, the optimum
PWHT temperature for this Alloy 800/9Cr–1Mo steel DMW joint (within the range specified
by codes) can be unequivocally identified as 1023 K.
Figure 16a shows that for the 1023 K PWHT joint, the UTS increases by about 14% on
ageing for 100–500 h, increases by another 8% for the next 500 h, beyond which it decreases
by 7% up to 5000 h of ageing. The %RA value initially increases by about 5% over the first
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Figure 15. Variation in (a) 0f and (b) ηf determined at 300 K with ageing duration at 848 K for
Alloy 800/9Cr–1Mo steel joints in as-welded and PWHT conditions.

100 h of ageing, but with prolonged ageing decreases to a value about 10% lower than that in
the unaged condition. Ageing for 100–500 h leads to an increase in 0f by about 35%; beyond
this period it decreases to saturate at about 27% net increase over the unaged condition. On
the other hand, ηf increases steadily with increasing ageing duration up to 5000 h, tending to
saturate at a value 37% higher compared to the unaged condition.
Figure 16b shows that for 5000 h aged joints, an increase in PWHT temperature results in
an increase in UTS and decrease in %RA. However, ηf after 5000 h ageing remains practically unchanged irrespective of the PWHT temperature used. On the other hand, though 0f
decreases on PWHT at 973 K it increases with increasing PWHT temperature up to 1023 K
indicating thereby that better toughness would be obtained on PWHT at 1023 K.
Given the observations made in earlier sections, and also the poor sensitivity of UTS and
%RA to ageing displayed in figure 16, it is not surprising that the conventional structure–
property analysis route could not distinguish the effect of different PWHT temperatures
employed. The improvement in the toughness of the 9Cr–1Mo steel HAZ on PWHT, observed
in this study, can be attributed to tempering of the reformed-martensite and (untransformed)
tempered-martensite present in the as-welded HAZ. The fact that there is only a marginal
improvement in ηf on increasing the PWHT temperature reflects the poor tempering response
of the relatively fine-grained low-Alloy containing reformed-martensite present in the HAZ.
The 0f and particularly ηf values unambiguously indicate the optimum (i.e., consistent
within the specified temperature range) PWHT temperature of this DMW joint to be 1023 K
(Bhaduri et al 1997a).
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Figure 16. Change in 0f , ηf , UTS and %RA for Alloy 800/9Cr–1Mo steel joints determined at
300 K with (a) duration of ageing at 848 K in 1023 K PWHT condition, and (b) PWHT temperature in
848 K/5000 h aged condition.

4. Concluding remarks
Clearly, the RBR method is very simple, easily adaptable to ambient and high temperature testing (Bhaduri et al 1997b), and both appropriate and adequate for engineering applications such
as optimisation of PWHT. In conventional fracture mechanics testing in the ductile fracture
regime, a sufficiently large crack enhances triaxiality at the crack tip, and reduces the plastic
flow so that the energetics can be identified with that for cavity growth and coalescence in the
crack-tip process zone. The alternatives, the “local” damage mechanics approaches, seek to
develop a common basis for describing the plastic deformation and ductile fracture behaviour
that is independent of specimen shapes and geometries. In one group of these methods,
damage is identified with local void density, and kinematic equations incorporating J 2-flow
theory, appropriately modified for porous solids, are solved to derive the load-displacement
response of the specimen/structure (Bluhm & Morrisy 1965; Tvergaard & Needleman 1984;
Lemaitre & Chaboche 1990; Kachanov 1990; Thomason 1990; Zhang & Zheng 1991; Zheng
et al 1992). Another type of formulation uses an empirical damage parameter D which has
been variously identified with the strain energy density, accumulated strain or accumulated
strain weighted by some function of the stress field, e.g. functions of maximum principle
tensile stress or hydrostatic tension etc. (Clift 1992). Local “failure” is associated with D
attaining a critical value Dc over a characteristic distance rc ; both Dc and rc are determined
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by data fitting. Both these approaches are very promising, but involve extensive modelling
and computation. The RBR parameters are close in spirit to the fracture mechanics approach
in the sense that these are derived from the regime dominated by void growth and coalescence
(Rodriguez 1993); the state of stress is a combination of uniaxial + hydrostatic tension, the
latter component increasing with progressive development of the neck, thereby promoting
void growth and coalescence, and resulting in increasing fraction of the total energy being
spent in the necking process. At the same time, 0f and ηf also embrace the damage mechanics concepts that identify “damage” with strain energy density. In this sense 0f , an estimate
of the average energy per unit cross-sectional area required to cause fracture, is akin to the
upper-shelf Charpy-V energy, and is in fact superior to Charpy-V as the latter incorporates
significant energy contribution from the ligament plasticity (Ray et al 1993a). The parameter ηf estimates the average incremental plastic energy per unit volume consumed by the
specimen per unit longitudinal plastic strain at the neck to sustain the necking, i.e. the fracture process. Since it is quite possible that in some engineering Alloys significant fractions
of energy may be spent in cavity growth and coalescence processes well before the onset
of necking, in general, ηf should be a more realistic measure of the resistance to ductile
fracture than 0f . However, both 0f and ηf are determined for a highly work-hardened condition. Further, while the RBR method holds great promise, it must be remembered that this
method assumes, and therefore its application is limited to, fracture controlled by microvoid
growth and coalescence processes. For example, it cannot be applied if fracture is controlled
by cleavage, or if extensive dislocation channelling leads to shear fracture, as can happen in
highly irradiated austenitic Alloys. Of course, the RBR method is much less ambitious than
the damage/fracture mechanics methods as it aims at grading materials in order of their resistance to ductile fracture and cannot be used to assess the load-bearing capacity of a damaged
component.
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